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Abstract 
Controlled rocking heavy timber walls (CRHTW) have been developed and implemented in New Zealand using Prestressed-
Laminated (Pres-Lam) timber products to resist large seismic loads and minimize structural damage. Controlled rocking walls 
are designed to rock on their foundation in response to seismic loads, and this rocking behaviour is controlled with post-
tensioning (PT) and supplemental energy dissipation. The CRHTW offers environmental and economic benefits that could 
also be realized in lower seismic hazard regions like Eastern North America and Europe. For these regions, the reduction or 
omission of PT or energy dissipating elements could simplify design and construction, and the application of Cross-Laminated 
Timber (CLT) could increase the appeal of this structural alternative. However, the performance of such a simplified CRHTW 
made of CLT has not previously been evaluated. Furthermore, although previous CRHTW studies have shown that higher 
mode effects can increase the shear and moment demands above the design levels, these higher mode effects have not been 
studied for CLT CRHTW without supplemental energy dissipation. This paper addresses these questions by first presenting 
the design and analysis of a prototype simplified CRHTW, considering the low-to-moderate seismic hazard of Ottawa, 
Canada. The design process considers capacity design of the CRHTW by applying two recently-proposed methods for 
estimating higher mode effects. A numerical model of the design is developed and subjected to non-linear time history 
analyses (NLTHA) with twelve ground motions that are representative of the design hazard with a 2% probability of 
exceedance in 50 years. The NLTHA results show that, despite the omission of supplemental energy dissipation, the wall’s 
peak displacements are only 0.63% of the wall height, interstorey drifts are significantly below the 2.5% limit, and the 
maximum shear and bending moment demands are 45% and 70% of capacity, respectively. Of the two methods considered 
for predicting the peak forces caused by higher mode effects, one is accurate to within 30% and the other to within 15%, both 
without any empirical calibration. 

Keywords: Cross-Laminated Timber, Low-damage Seismic Design, Controlled Rocking, Higher Mode Effects 

1. Introduction 

High risk regions, in which large populations are vulnerable to the effects of high seismic hazards, have adopted 
advanced technologies like damping devices, base isolation, and controlled rocking, to mitigate risk due to seismic 
events. However, risk is not only a function of hazard: low-to-moderate seismic hazard regions face similarly high 
risks as urban population centers densify, especially by building upward to accommodate growing populations and 
economies [1]. Additionally, a low perception of seismic risk in regions of low-to-moderate seismicity results in 
opposition to seismic resistant structural alternatives that are considered complex and expensive [2]. One way for 
structural engineers to overcome this challenge is to simplify solutions that have been developed for greater seismic 
hazards, and to combine these solutions with other features desired by stakeholders. For example, the Government 
of Canada has identified Cross-Laminated Timber (CLT) as an environmentally and economically advantageous 
construction material for both Canada and the U.S. [3], and several CLT systems are being studied for high seismic 
hazard regions [4–7]. By simplifying the design and construction of CLT systems, there is an opportunity to adapt 
low-damage CLT-based structural alternatives to regions of low-to-moderate seismicity. 

One potential solution is a controlled rocking heavy timber wall (CRHTW) constructed of CLT and without 
energy dissipation. CRHTWs have been developed for regions of high seismic hazard in New Zealand, so as to 
control structural damage during a seismic event [5]. They are designed to rock on their foundation in response to 
seismic loads, with rocking initiated at a fraction of the base overturning moment (divided by force reduction 
factor, RdRo) that would develop if the wall were designed to remain linear elastic, as shown in Fig. 1.1. The 
rocking behaviour is controlled and the wall is returned to its original position with post-tensioning (PT) elements. 
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Also, supplemental energy dissipation elements are installed to reduce peak displacements and accelerations. Fig. 
1.1 (a-c) depicts three variations of the CRHTW: (a) a cantilever CRHTW at rest; (b) coupled rocking walls with 
energy dissipating couplers and yielding steel dissipater elements at the base [8]; and (c) a simplified CRHTW 
without supplemental energy dissipation, designed with a relatively large RdRo factor. In high seismic hazard 
regions, variation (b) is the focus of ongoing research seeking to address PT losses due long-term loading and 
timber’s dimensional instability, and cyclic damage to the energy dissipation elements [9,7]. These issues increase 
initial and long-term costs, as well as the design complexity of a CRHTW. Alternatively, the simplified CRHTW 
(variation (c)) could avoid these concerns by sacrificing the benefits of supplemental energy dissipation, which 
may not be necessary in regions of lower seismic hazard. However, research is needed to verify the performance 
of a CRHTW without supplemental energy dissipation, and with a relatively large RdRo factor.  

The CRHTW is designed and analyzed considering a set of timber properties and post-tensioning loads, and 
assuming the first mode response dominates these demands at the base connection. However, moment and shear 
demands over the height of the wall are also important performance variables to consider, based on observations 
from testing on Laminated Veneer Lumber (LVL) CRHTWs [9,10]. Higher mode effects can increase bending 
moment and shear demands over the height of the structure, relative to the base connection, depending on the 
structural dynamic properties, and this is especially important to consider for CRHTWs designed with different 
timber products. In particular, CLT CRHTWs have lower bending and shear stiffness and strength properties than 
LVL, as shown in Table 1, thereby increasing the CLT CRHTW’s susceptibility to higher mode effects. The effects 
could be significant, and therefore there is a need to examine higher mode effects in simplified CLT CRHTWs. 

Fig. 1.1 – CRHTW force-deformation behaviour, and associated CRHTW variations (a) static state, (b) coupled, 
energy dissipative, (c) simplified, without energy dissipation 

Table 1 – Comparing CLT and LVL design and modelling input (left), performance phenomena (right) 

Property Parameter Difference 
from LVL 1 

Value2 (gross 
section) 

Phenomenon CLT, compared to LVL 

Comp. Strength, fc ▼ 60-70% 13 MPa Toe crushing ▼ fc  
▲ Likelihood of 
damage 

Elastic Modulus, E ▼ 40-50% 7,900 MPa Mechano-sorptive 
effects 

▲Dimensional 
stability   

▼ Impact on 
performance Bending Strength, fb,eff ▼ 50-60% 19 MPa 

Shear Strength, fv,eff ▼ 50-75% 1.5 MPa Forces due to 
higher mode 
effects 

▼ fb, fv  
▲ Likelihood of 
strength demand 
governing Shear Modulus, G ▼ 20-25% 520 MPa 

1Relative to LVL models [10–12] 
2Property values approximated for 9-layer CLT panel, considering composite method for analysis [12,13] 

This paper seeks to develop a better understanding of the performance of simplified CLT CRHTWs in low-
to-moderate seismic hazard regions, and to evaluate the impact of higher mode effects on the system. Furthermore, 
this paper seeks to evaluate how higher mode effects in CRHTWs can be predicted as part of a capacity design 
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procedure. To achieve these objectives, a prototype CRHTW is presented, and the associated analysis, design, and 
numerical modeling theory is discussed. Additionally, two higher mode effect estimation methods that have 
previously been proposed for controlled rocking steel braced frames are reviewed and applied to the prototype. 
Next, NLTHA results from the numerical model are investigated, with a focus on the bending and shear demands 
as well as the interstorey drifts, roof displacements, and floor accelerations. Finally, the accuracy of the higher 
mode estimation methods is evaluated. 

2. Prototype: Analysis & Design  

2.1 Prototype Structure 

The discussion and analyses presented in this paper are associated with the following prototype building, which 
uses CRHTWs to resist low-to-moderate seismic hazard demands. The prototype is a six-storey, 54 m square 
building designed for Ottawa, a region of low-to-moderate seismic hazard in Canada [14]. Each storey is 3.3 m 
high, for a total height of 19.8 m. The floor weights and load combinations are summarized in Table 2. The 
prototype design includes twenty-four CRHTWs with the timber properties outlined in Table 1; a sample layout 
of the building is presented in Fig. 2.1. The CRHTW panel is a standard 2440 mm wide, 315 mm thick panel from 
Canada’s Nordic Structures (314-9L) [12], with one 26 mm DYWIDAG PT bar [15] located 600 mm from each 
side of the wall. Both PT elements have an initial post-tensioning load (TPT,init) of 83.5 kN. The following sections 
review the analysis and design theory that was applied to develop the prototype CLT CRHTW; further details are 
available in [14,16]. Additionally, capacity design is included in the design process by reviewing two methods that 
have been proposed to predict the higher mode effects in controlled rocking steel braced frames and applying them 
to the prototype CRHTW. 

Table 2 – Prototype loading contributions (left); total storey weights for seismic design (right) 

Roof Pressure Floor Pressure Total Seismic Storey Weight (Dead+0.25×Snow)
Dead Load [17] Snow Load [18] Dead Load [17] Snow 6th Storey (Roof) 1st – 5th Storey (per storey)
2.3 kPa 2.4 kPa 3 kPa - 8490 kN 8810 kN 

  

Fig. 2.1 – Sample layout with twenty-four walls 

2.2 Base Mechanics Analysis 

The earthquake loading imposes bending (θf), shear (θs), and rigid body (θcon) deformations on the wall, as shown 
in Fig. 2.2 (a). θcon is caused by base uplift and compression, as shown in Fig. 2.2 (b), and it results in elongation 
of the PT tendons, which creates an overturning moment (OTM) resistance that returns the wall to its original 
position. Therefore, understanding the relationship between OTM and θcon (base mechanics) is important to 
CRHTW analysis and design. In this study, the CRHTW base mechanics are computed using the Winkler Spring 
Analogy (WSA) [10] in which the base is represented as a series of springs with axial stiffness, EtimberA/Leff. The 
springs represent the base connection interface, which is evaluated as a continuous section (integrated, as in the 
following base mechanics analysis process), or as a finite series of springs with area, A (as in the numerical model, 
Section 3). Leff is defined by an empirical relationship, proposed by Newcombe (Eq. (1)) [10,19]. With the WSA, 
the timber compression component of the OTM resistance can be determined, as in the following analysis process 
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based on research by Newcombe [10,19] and Sarti [9]; details of the process for the simplified CRHTW are 
presented in [16].  

Fig. 2.2 – (a) Flexure, shear, and rigid body rotation components of CRHTW analysis; (b) result on rocking toe

First, a base connection rotation (θcon) is identified for analysis (see Fig. 2.2 (b)), a corresponding neutral 
axis depth (c) is assumed, and the Winkler spring length (Leff) is calculated as per the WSA (Eq. (1)). The c-Leff 
relationship is significant to the analysis process, and also for numerical modeling: Leff relies on c, but it is 
computationally expensive to solve for c at every θcon. Therefore, a constant Leff term is determined for which θcon-
c corresponds to the peak θroof value (typically 2-2.5%) [19]. 

 

Next, the rocking toe interface is evaluated using the strain profile (εCLT=θconc/Leff) in the compressed (rocking) 
toe interface (Fig. 2.2 (b)) The strain profile is converted to a stress profile considering a bilinear material 
relationship: σy and cy are the yield stress and corresponding depth from the neutral axis to the timber yield point, 
respectively. Given this compression interface profile, the compression force (CCLT) and compression toe centroid 
(ycent) are determined by integration. 

The CRHTW PT forces are calculated next: the initial PT forces are modified by rocking as shown in Fig. 2.3. 
The vertical and horizontal components of the PT force are determined by considering the PT material properties 
and the system geometry at the given θcon. 

(a)  (b)  

Fig. 2.3 – (a) Elongating PT due to rocking; (b) PT components and the system response 

Next, force equilibrium is checked at the base connection interface, considering rocking toe compression, post-
tensioning, and wall self-weight. If equilibrium is not satisfied, it is necessary to iterate the analysis with a new c.  

If the base connection force equilibrium is satisfied, then the base connection moment (Mcon) and base shear 
(Vb) can be calculated. Mcon is determined from the components in Fig. 2.3 (b). In a tall CRHTW, the horizontal 
PT force contribution at the roof becomes significant as θcon increases, so both the horizontal and vertical PT 
components are calculated. Vb is determined from Mcon by dividing Mcon by the effective height of the structure 
(Heff =∑(mihi

2)/∑(mihi)). 

Finally, the total roof drift is determined by considering the sum of bending and shear displacements (δb and 
δs respectively) over the wall height (hw) and adding the rigid body rotation, θcon. δb and δs can be determined using 
conventional structural mechanics. A simplified equation is provided by Sarti in [9], and further developed for the 
widely space PT configuration in [14]. 
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2.3 Base Connection Design  

The CRHTW design method is based on a similar design methodology from [20], but was modified for CRHTWs 
in [16]. Presented herein is a summary of the design method, including numerical details for the prototype design. 

First, a Tn estimate is required for an initial design iteration. Research is needed to develop guidance for the 
initial Tn estimate, but the Rayleigh method can be applied to check the Tn assumption after an initial design has 
been developed. For the prototype model, Tn is 1.80 seconds, and was verified at the end of the design. 

Next, both seismic and wind demands are evaluated, as wind demands may govern in low-to-moderate seismic 
hazard regions. For calculating the seismic demands, a force reduction factor (RdRo) of 8.0 was selected for design 
of the prototype structure. This selection was based on research that has suggested that it may be possible to control 
the peak displacements to within reasonable limits with RdRo of 8.0, even without supplemental energy dissipation 
[21]. With RdRo = 8.0, the seismic base shear demand (Vb) is determined by the equivalent static force procedure 
(ESFP), and is 20% lower than the base shear caused by wind [14]. However, due to the vertical distribution of 
seismic load, the seismic OTM demand (OTMdesign) governs the base connection design: the seismic OTM is 
6000 kN∙m, compared to 5050 kN∙m due to wind load. 

Given OTMdesign, the building configuration is determined, including a quantity of walls for the whole building. 
Next, TPT,init is calculated for each wall, to resist that wall’s share of OTMdesign. For the widely-spaced PT design, 
it is assumed that rocking is initiated when c meets the least-strained PT element as shown in Fig. 2.4 (a), and that 
the cumulative PT force is assumed unchanged. This assumption was found to be sufficiently accurate using the 
analysis process of Section 2.2. Therefore, taking the PT forces equal to the initial PT force (TPT,init), the required 
TPT,init is determined by Fig. 2.4 (b) and Eq. (2). 

(a)   (b)  

Fig. 2.4 – (a) Peak of elastic system response; (b) base connection moment at system yield, for design 

 

The final design step is to estimate the non-linear roof drift, θroof,design
	non-lin  and compare against peak drift limitations. 

θroof,design
non-lin  due to the CRHTW design force is determined by calculating the bending and shear deflection over the 

wall height (hw), as shown in the analysis process of Section 2.2. Bending and shear deflection due to the design 
forces correspond with Δy in Fig. 2.5. Δy is then multiplied by CRRdRo to estimate the total Δnon-lin while rocking, 
where CR is a displacement correction factor that is given in [21]; for the prototype, CR is 2.04. Δnon-lin is divided 
by hw to determine θroof,design

	non-lin . For the prototype model, the estimated Δnon-lin is 165 mm, equal to 0.83% roof drift. 
This is much less than the 2.5% drift allowance for normal importance buildings in the Canadian building code 
[18]. 
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(a)  (b)  

Fig. 2.5 – (a) CRHTW design forces and expected non-linear displacement; (b) CRHTW system hysteresis 

2.4 Capacity Design: Considering Higher Mode Effects 

Two higher mode estimation methods are considered in the work, as described in the following sections. Both 
methods are based on recently proposed techniques for controlled rocking steel braced frames [22]. In both 
methods, the first mode response contribution is calculated by multiplying the code-defined lateral forces by an 
overstrength factor (Ω). This factor is determined by applying the analysis process of Section 2.2 to calculate Mcon 
when the roof drift is equal to θroof,design

	non-lin , determined in the wall design. Ω is defined by Eq. (3). 

 
2.4.1 Dynamic Method 

The first method considered for predicting higher mode effects is the dynamic method, and it can be conducted 
with a model built in commercial structural engineering software [22]. Elastic wall panel elements are defined 
with the seismic masses at storey nodes, and rigid elements are used to connect the centerline of the wall with 
nodes at the PT anchorages and at the rocking toe, as shown in Fig. 2.6. The rocking toe is pin supported, and the 
top-of-wall PT nodes are supported by vertical springs with the axial stiffness of the PT elements; the PT nodes 
are statically loaded with TPT,init. Next, a force is applied at each storey to simulate the first-mode response, i.e. the 
inverted-triangular load distribution from design, and Ω (defined by Eq. (3)) is applied to the lateral forces to 
account for the CRHTW response at θroof,design

	non-lin . In the prototype, Mcon at θroof,design
	non-lin  (0.83%) is 450 kN∙m, as shown 

in the pushover plot of Fig. 2.6 (b), and the design OTM (OTMdesign) is 250 kN∙m, so Ω is 1.80. The next step of 
the dynamic method requires a truncated response spectrum analysis, in which the design spectrum is truncated 
between the first- and second- mode periods so as to capture only the higher modes [22]. Finally, the truncated 
response spectrum analysis results are combined by the square root of the sum of the squares (SRSS) method and 
added to the first mode contribution including Ω, as described above. This is shown in Eq. (4), where r is the 
moment or shear at each node. The response spectra used in this research are presented in Section 3.2. The peak 
bending moment and shear demands from the dynamic method are 1,780 kN∙m and 335 kN, respectively, and the 
distribution of moment and shear over the height is discussed in Section 4.1. 

(a)  (b)  

Fig. 2.6 – (a) Dynamic model diagram, and (b) pushover plot for determining Ω 
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2.4.2 Cantilever Beam Analogy 

The cantilever beam analogy (CBA) for predicting higher mode effects involves determining the peak shear and 
moment response contributions from the first, second, and third modes, using closed-form equations that are given 
in [23]. These contributions are described by non-linear functions of the design base rocking moment (OTMdesign), 
storey heights (z), total wall height (hw), and the acceleration response spectrum at the respective higher mode 
periods (Sa(Ti)). The modal response contributions are identified as Mi,max(z) and Vi,max(z) for the bending moment 
and shear response, respectively; i refers to the mode. The Mi,max(z) functions are shown graphically in Fig. 2.7 as 
an example of the shapes of these modal contributions. In the CBA, the first mode bending moment and shear 
contributions (M1,max(z) and V1,max(z)) are calculated and amplified by Ω, as described previously. To calculate the 
higher mode contributions, the higher mode periods are calculated by a modal analysis. The second- and third-
mode periods of the prototype are 0.36 s and 0.12 s, respectively. Next, the second- and third-mode contributions 
are calculated as per the respective equations in [23]. Finally, the higher mode responses are combined as per Eq. 
(4), where r is the Mi,max(z) or Vi,max(z) response from each mode, and rtotal represents the peak total response at 
height, z. The peak bending moment and shear demands from the CBA are 1510 kN∙m and 310 kN, respectively, 
and the distribution of moment and shear over the height is discussed in Section 4.1. 

 

Fig. 2.7 – Non-linear modal contribution functions for peak moment response over wall height 

2.4.3 Wall Demand-Capacity Ratios 

The CRHTW bending capacity is defined as Mcap=fb,eff∙S, and the shear capacity (Vcap) is defined as Vcap=Av∙fv,eff, 
where S is the section modulus, Av is the shear area of the gross wall cross section, and fb,eff and fv,eff are defined in 
Table 1. For the prototype design, the bending moment and shear capacity are 5,900 kN∙m and 960 kN, 
respectively; these capacities are much larger than the peak demands estimated in Sections 2.4.1 and 2.4.2. 
Considering the bending moment demand, the dynamic method and CBA predictions correspond to 30% and 26% 
of capacity, respectively, considering the shear demand, the predictions from the dynamic method and the CBA 
correspond to 35% and 32% of capacity, respectively. The dynamic method is more conservative in both cases. 

3. Numerical Modeling 

3.1 Numerical Model Development 

The numerical model of the prototype structure that was constructed in OpenSees [24] is shown schematically in 
Fig. 3.1 (a). The model relies on the Winkler Spring Analogy (WSA) to capture the stresses in the CRHTW base. 
The primary wall elements are represented by elastic Timoshenko beams, capturing both shear and bending 
deformations. PT elements are represented by corotational truss elements with the Steel02 material model to 
capture the PT stress-strain relationship. Steel02 also allows for an initial PT stress, which is calibrated to achieve 
TPT,init after the model is initiated, since the wall shortens under the initial compression. Rigid elements are 
modelled at the top and bottom of the CRHTW to connect the wall centreline with the top of the PT elements, and 
also the Winkler Springs at the base, as seen in Fig. 3.1. 

z z z

M1(T1,z,hw,OTMdesign) M2(T2,z,hw,OTMdesign) M3(T3,z,hw,OTMdesign)
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(a) (b) 

Fig. 3.1 – (a) OpenSees numerical model; (b) Base connection (Winkler Springs), including the material model

The Winkler springs, representing finite elements of the base connection, are defined by zero-length elements 
with an elastic perfectly plastic gap material (Fig. 3.1 (b)). This material does not have any stiffness in tension, but 
it has an initial compression modulus reflecting the timber material and a yield stress reflecting the CLT crushing 
stress. The effective length is determined from Eq. (1). 

A leaning column represents the gravity system associated with the CRHTW, capturing P-Delta effects in the 
model. Also, a tangent-stiffness Rayleigh damping model is applied to the numerical model, with a damping ratio 
of 5% for the first and third modes. 

3.2 Ground Motion Selection and Scaling 

Twelve scaled ground motions (GMs) are used in the NLTHA. The GMs are from a synthetic set [25], and 
represent near- (10-25 km) and far-field (15-100km) eastern Canada M6 and M7 events (four sets of three GMs). 
The GMs are scaled to the Ottawa uniform hazard response spectrum, representing a 2% probability of exceedance 
in 50 years [18]. The range of periods considered is 0.2Tn-2Tn, where Tn is 1.80 s for the final design. M6.0 events 
are used for scaling in the short period range (0.2Tn – Tn) whereas M7.0 events are scaled in the long period range 
(Tn – 2Tn), in accordance with [26]. The scaled displacement spectra are presented in Fig. 3.2. The figure confirms 
that the M7.0 events are more significant at long periods, which drive the first-mode response, whereas M6.0 
events dominate periods shorter than 0.75 s, which are significant for higher mode effects. 

Fig. 3.2 – Scaled displacement response spectra, including mean of each set, overall mean, and design spectrum
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4. NLTHA Results 

Fig. 4.1 shows the CRHTW roof drift during four of the twelve time-history records, one record from each of the 
four sets. In the M6 events shown in Fig. 4.1 (a), high-frequency content is evident in the roof drift response during 
the ground motion, but the high-frequency vibration dissipates quickly as the wall continues to rock after the 
ground motion subsides; the peak roof drifts in these records are less than 0.5%. In contrast, the records from the 
M7 events shown in Fig. 4.1 (b) demonstrate larger peak roof drifts (nearly 1% in the most demanding case), and 
relatively little low-frequency content. All the records show that the model is initially excited to a peak 
displacement during the seismic event, followed by long period free vibration that dominates the response during 
the latter part of the earthquake and after. The records exhibit relatively little apparent interaction with the ground 
motions after rocking is initiated. 

(a) (b)  

Fig. 4.1 –Roof drift time-history records from scaled GMs: (a) M6 events; (b) M7 events 

Fig. 4.2 (a) shows that the interstorey drift envelopes are also lower during the M6 events than during the M7 
events, but that they are also less uniform during the M6 events. This smaller but non-uniform response is due to 
the higher modes that are activated by the higher-frequency content of the M6 events. In contrast, the lower-
frequency content of the M7 events drives a larger interstorey drift response through rigid body rocking, with 
limited higher mode contribution. The median peak interstorey drift responses are significantly lower than the 
2.5% limit for normal importance buildings in the NBCC [18]. The peak storey displacements are not included in 
Fig. 4.2 (a); however, the mean peak roof displacement is 12% lower than the estimated inelastic displacement 
(∆non-lin). The difference is likely attributable to the empirical CR-relationship, which was calibrated for California 
seismic events that have more low-frequency content [21] than the Eastern Canada GMs used in the NLTHA [25]. 

The force demands over the wall height, shown in Fig. 4.2 (b) and (c), also reflect higher mode effects: the 
shear is significantly higher than the demand determined by the equivalent static force procedure applied in the 
wall design, which varied from 5 kN at the roof to 18 kN at the base. Similarly, the moments that occur near the 
wall mid-height are larger than the design base connection moment (Mcon) of 250 kN∙m. A similar influence of the 
modes on the peak demands has been observed in other CRHTW studies [9,10], and for controlled rocking systems 
in general [20]. However, the peak demand was generally observed at the base of the six-storey CRHTWs in 
[9,10]; therefore, Newcombe suggested that Mcon (bending moment at the base) could be used to check the wall 
strength [10]. This is not conservative in this case, likely due to the relatively large RdRo factor, which reduces the 
contribution of the first mode relative to the higher modes. Nonetheless, considering the capacities determined in 
Section 2.4.3, the maximum peak bending and shear demand are still only 28% and 35% of capacity, respectively. 

Finally, floor accelerations are considered because of their importance for acceleration-sensitive elements, 
such as non-structural elements anchored to the floor. Floor accelerations have been identified as a significant 
concern in controlled rocking systems without energy dissipation [10]. A floor acceleration limit of 1.80 g has 
previously been recommended for avoiding non-structural element damage [27]. Fig. 4.2 (d) shows the peak floor 
accelerations for the prototype model, including the median response and the 1.80 g limit. Even without 
supplemental energy dissipation, the floor accelerations are much less than the recommended limit. However, the 
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higher mode effects are recognizable in Fig. 4.2 (d), with the high-frequency content of the M6 events resulting in 
higher peak floor accelerations. 

Fig. 4.2 – Response to all GMs: (a) interstorey drift; (b) shear; (c) bending moment; (d) floor acceleration 

4.1 Prediction of Higher Mode Effects 

The predictions of both the dynamic method and CBA are presented in Fig. 4.3, superimposed on the NLTHA 
results for each of the twelve GMs and their mean. Both the dynamic method and CBA predictions are similar in 
shape to the mean NLTHA results. However, the CBA prediction generally underestimates the NLTHA results in 
the upper half of the wall by as much as 30%, whereas the dynamic method generally matches the NLTHA results 
at the top of the wall and overestimates by no more than 15% in the bottom half. 

Fig. 4.3 – Comparison of shear and bending moment demands from NLTHA, dynamic method, and CBA 

5. Conclusions 

This paper investigated the performance of a simplified controlled rocking heavy timber wall (CRHTW) made of 
cross-laminated timber (CLT) subjected to low-to-moderate seismic demands. The wall was simplified by omitting 
supplemental energy dissipation and designing with a relatively large force reduction factor (RdRo = 8.0), thereby 
reducing the PT forces in order to avoid long-term timber creep. A six-storey prototype wall was designed for the 
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low-to-moderate seismic hazard region of Ottawa, Canada. In addition to reviewing the analysis and design 
process, the effects of the higher modes on the peak shears and bending moments were estimated for the prototype 
using recently proposed techniques. 

Based on non-linear time history analysis (NLTHA), the interstorey drifts were below the 2.5% limit for 
normal importance buildings in the Canadian building code [18], and the floor accelerations were significantly 
below the 1.8 g limit suggested for non-structural performance [27]. However, both these parameters and the force 
demand envelopes demonstrated influences from higher modes over the height of the structure. The maximum 
demands were 28% and 35% of the bending moment and shear capacity, respectively. These ratios do not require 
changes to the CRHTW design, but the bending moment and shear envelopes over the height of the structure 
demonstrate the significant increase in demand relative to the equivalent static force procedure demands 
determined during the initial base connection analysis and design stages. 

The results of two higher mode prediction methods were compared with the NLTHA results. The dynamic 
method enveloped the NLTHA results, with a maximum 15% overestimation in the lower half of the structure. In 
contrast, the cantilever beam analogy had a similar shape and matched the NLTHA results in the lower half of the 
structure, but it underestimated the NLTHA results by as much as 30% in the top half of the structure. Further 
research is needed to determine whether similar agreement can be expected for other CRHTW designs in which 
supplemental energy dissipation has been omitted. 

Although the CLT CRHTW strength capacities were found to be adequate for the demand in this study, timber 
engineers are still studying the capacity of CLT. The in-plane shear and bending strength and stiffness values used 
in the capacity calculation are based on recent research on small-scale specimens [28], such as beams and lintels. 
Additional research is required to verify the performance of larger scale specimens like the nine-layer, 2.44 m 
wide wall specified in the CRHTW design. For designs where the strength capacity does not meet the demand, the 
CRHTW could possibly incorporate higher mode mitigation techniques like multiple rocking sections [7,23]. 
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